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Abstract

The failure mechanisms and the cohesive zone length (CZL) during fracture of recently

developed butt jointed thermoplastic composite are evaluated in this paper. The laminated

skin and the web were made of AS4/PEKK. The butt joint (filler) was injection molded

from 20 % short AS4 filled PEKK. The skin and web were co-consolidated together with

the filler to form a hybrid butt joint structure. The crack initiation and propagation in

the filler and the delamination at the skin-filler interface were captured using a high-speed

camera. It was found from the experimental observations that the crack initiated in the filler

and then propagated towards the skin-filler interface in less than 33 µs under three-point

bending. A numerical model was developed using the finite element method in ABAQUS to

predict the failure and CZL. The crack initiation and progression in the filler was predicted

using the Virtual Crack Closure Techniques (VCCT) and the delamination at the skin-filler

interface was modelled using the cohesive surfaces. The predicted stiffness of the specimen,

the location of crack initiation and propagation as well as the force drop during delamination

were in good agreement with experiments. The development of CZL was critically assessed

and it was found that the CZL increases during delamination. The effect of interface strength

and critical energy release rate on the CZL was investigated in the parameter analysis.

Keywords: Co-consolidation; butt joint; failure analysis; FEM; cohesive zone length.

Preprint submitted to Engineering Structures



1. Introduction

High performance thermoplastic composites (TPCs) such as carbon fiber/poly(ether

ether ketone) (C/PEEK) and carbon fiber/poly(ether ketone ketone) (C/PEKK) are pre-

ferred in aerospace and aircraft industries to boost the weight-to-strength ratio of composite

structures. In particular, thermoplastic stiffened composites are currently being developed

for primary aircraft components such as fuselage and torsion box at airplane tail. The appli-

cation of TPCs has also been gradually increasing in the automotive industries owing to their

high toughness, high damage tolerance and recyclability. The TPCs are manufactured using

various techniques such as stamp forming, laser assisted tape placement (LATP), welding, in-

jection molding, co-consolidation in autoclave, over-molding, etc. The TPCs have still been

under development with novel material compositions and manufacturing techniques. There

is a need for material characterization and better understanding of the processing conditions

as well as mechanical performance [1–5]. The storage and loss moduli of a unidirectional

carbon/PEEK specimens were determined in [1] in order to characterize the intra-ply shear

behavior. The fracture toughness of a carbon/PPS (polyphenylene sulfide) was determined

using the proposed mandrel peel test in [3] and the results were compared with the dou-

ble cantilevered beam (DCB) tests. The randomly oriented strand/PEEK composites were

characterized in [5] using a thermomechanical and dynamic mechanical analyzer to corre-

late the expansion and shrinkage of the composite with the process induced defects. The

manufacturing process has a direct influence on the material properties of the final prod-

uct such as fracture toughness, degree of cure, degree of crystallinity, elastic modulus and

strength. To illustrate, Mode-I fracture toughness was found to be 60-80 % higher for the

LATP processed specimens than for the autoclave processed specimens in [6]. This is due to

the fact that lower cooling rate in autoclave process yields in higher crystallinity level in the

semi-crystalline PEEK polymer as compared with higher cooling rates in the LATP; and

the higher the crystallinity level, the lower the fracture toughness [7, 8]. It was conculded in

[8] that the plastic deformation of the fast-cooled PEEK arising from high ductility was re-

sponsible for the improved interlaminar fracture toughness. On the other hand, an increase
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in the crsytallinity results in an increase in the elastic modulus and tensile/compressive

strength of the PEEK [9]. Approximately 40% increase in tensile strength and 30% increase

in tensile modulus were found in [9] as the crytallity of PEEK 150P increased from 16% to

39%.

The failure mechanisms of fiber reinforced polymer composites (FRPCs) are rather com-

plex due to their anisotropic material behavior at different scales (micro, meso and macro).

There has been several experimental and numerical studies reported in literature to charac-

terize the failure mechanisms of FRPCs under various loading scenarios. In [10], the progres-

sive delamination failure was simulated using a decohesion element coupled with a cohesive

zone model (CZM) for C/PEEK laminates. The model predictions were compared with

dedicated experiments based on DCB, end-notch flexure (ENF) and mixed-mode bending

(MMB). The CZM model was used in [11] to simulate the debond strengths of skin-stiffener

specimens made of graphite/epoxy loaded in tension and in three-point bending. The stiff-

ness of the specimen, the location of crack initiation and debond loads were found to agree

with published experimental data. In [12], the progressive failure analysis was conducted for

AS4/PEEK laminates subjected to in-pane tensile and out-of-plane transverse low-velocity

impact loading. It was concluded that the proposed elastoplastic damage model resulted in a

more accurate predictions of the failure loads for AS4/PEEK [0◦/45◦/90◦/-45◦]2s laminates.

A CZM was applied to simulate the delamination failure. The CZM was also applied in

[13] to simulate the delamination failure mode of a carbon/epoxy pressure vessel. The pin

loaded composite laminates were studied in [14, 15] using the CZM with dedicated exper-

iments. The delamination onset was determined based on the the specific angle at which

the maximum average shear stress occurred at the ply interface in a cross-ply [0◦/90◦]s lam-

inate in [14]. The failure analysis of T-shaped skin-stiffener composites was particularly

studied in [16–21] under pull-off loading and the delamination failure mode was determined

experimentally and numerically. In [16] it was shown that the failure initiated in the ver-

tical stiffener due to Mode-I splitting cracks and Mode-I/II pin traction loads controlled

the ultimate strength of the T-joint. It was postulated in [19] that the failure mode of a
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T-joint made of T700/bismaleimide resin changed due to the decrease in the fillet/filling

ratio and this was yielded in a reduction in the maximum tensile load. The post-damage

resistance and energy absorption of a composite T-joints reinforced with through-thickness

metallic arrow-pins were significantly increased in [20]. The debonding at the interface be-

tween bonded skin-stiffener structure made of graphite/epoxy was simulated in [22] using

the virtual crack closure technique (VCCT) [23–26] in ABAQUS. The predicted total strain

energy release rate using the shell/3D model was found to agree well with the solid/3D

model. Damage mechanisms of a bonded skin-stiffener structure made of glass/epoxy un-

der monotonic tensile load was simulated in [27] using the VCCT and the predicted matrix

cracking and delamination were verified with the experiments. It was shown that most

of the delaminations took place at the interface of [0◦/45◦] as well as [90◦/45◦] layers. In

[28], an extented finite element method (XFEM) was simultaneously used with the CZM

to simulate the failure behavior of carbon/epoxy samples under open-hole tension loading.

The XFEM was utilized to simulate the brittle matrix cracking at the intralaminar level

and the CZM was used for predicting the delamination at the interlaminar level. The im-

plemented modelling framework was found to be robust and accurate. The XFEM was

also coupled with CZM in [29] to determine the Mode-I failure parameters, i.e. the critical

strain energy release rate and the strength of unidirectional carbon/epoxy composite lam-

inate using an experimental-numerical methodology. Only a 2.91% error was found in the

critical strain energy release rate obtained from XFEM and corrected beam theory in [29].

In [30], intralaminar non-linear behaviour and fracture toughness under shear loading of an

AS4/PEKK cross-ply composite was investigated. The fracture toughness of the laminate

and the matrix was found to be 576.62 N/mm and 34.58 N/mm, respectively.

The fully developed cohesive zone length (CZL) is defined as the distance from the crack

tip to the location of the maximum cohesive traction, i.e. irreversible damage onset where

the cohesive forces acting on the crack plane [31]. The progressive failure and CZL were

studied in [31] for a bonded laminated DCB specimen and it was found that the small

cohesive stiffness was the cause for a very small CZL obtained numerically, as compared to
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the theoretically obtained CZL. Recent studies [32, 33] showed that a fine discretization is

needed to accurately capture the stress distribution and energy dissipation at the cohesive

surfaces. It was shown in [32] that minimum of two or three elements need to be present at

the numerical cohesive zone for an accurate load displacement analysis under Mode-I. On

the other hand, more than 3 elements, i.e. approximately 3, 5 and 8 elements, used at the

cohesive zone for Mode-II gave accurate results in [32] because the CZL in Mode-II load

case (in-plane shear mode) is in general larger than the CZL in Mode-I (opening mode).

This is due to the fact that the CZL depends on the material properties such as elastic

modulus, fracture toughness and interface strength of the cohesive layer and usually the

fracture toughness and interface strength are higher in Mode-II than in Mode-I. The CZL

for Mode-I (LCZL,I) and Mode-II (LCZL,II) are estimated using the following formulas which

are based on an approximation of the CZL in slender beams [33, 34]:

LCZL,I = MI
GIcEI
τ rIc

(1)

LCZL,II = MII
GIIcEII
τ rIIc

(2)

where Eic, Gic, τic, Mi and r = 2 are the equivalent elastic modulus, the critical energy

release rate, the interface strength, the dimensionless constant and the exponent constant,

respectively. In a recent study [35], r was found to be between 0.8 and 0.9 for a relatively

softer ballistic composite (Dyneema HB26) with thick bending arms under Mode-I.

Although there has been several studies carried out to analyze and simulate the me-

chanical performance of composite structures, a critical assessment of the failure behavior

and CZL in hybrid butt jointed TPCs needs to be addressed to develop future’s high dam-

age tolerant composites. In this paper, the failure and fracture behavior of a recently

developed co-consolidated hybrid C/PEKK skin-stiffener structure was investigated experi-

mentally and numerically. The laminated skin and web made of AS4/PEKK prepregs were

co-consolidated together with an injection molded butt joint (filler) made of short fiber rein-

forced AS4/PEKK. Two different layup sequences were considered. The mechanical response

5



of the hybrid structure was evaluated under three point bending (3PB) loading. The crack

initiation and propagation in the filler as well as delamination initiation and progression

at the skin-filler interface were captured using a high speed camera. A quasi-static model

was developed to predict the force-displacement response and the fracture behavior using

the finite element method (FEM). The CZM was employed simultaneously with the XFEM

in ABAQUS. The evolution of the CZL at the filler-skin interface was critically assessed

during loading. In addition, the effect of interface strength and critical strain energy release

rate on the CZL were evaluated. The material properties needed for the FEM were char-

acterized experimentally for the filler. The thermal residual stresses were also taken into

consideration.

2. Experimental

2.1. Materials

The laminated skin and web were made of unidirectional (UD) AS4/PEKK prepregs from

Cytec. The butt joint, i.e. the filler, was the injection molded 20% short AS4 carbon filled

PEKK. The laminated skin and web were co-consolidated in an autoclave tooling together

with the filler to have the T-shaped joint structure. Two different layups were used for the

skin and web using the UD prepregs with 16 layers to investigate the influence of layup

orientation at the skin-filler interface on the fracture behavior and global force drop after

fracture:

• Layup-1 : [0/45/-45/90/45/0/-45/90]s

• Layup-2 : [45/0/-45/90/45/0/-45/90]s

The skin-stiffener specimens were cut from a relatively large panel into small pieces using a

diamond saw and prepared with a nominal width of 14.9 mm and a nominal length of 70

mm with a span length of 57 mm. The micrograph of a Layup-2 cross-section is depicted in

Fig. 1.
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Figure 1: Micrograph of the cross section of a Layup-2 specimen.

2.2. Material characterization of the filler

2.2.1. Tensile properties

The behaviour of the butt-jointed skin-stiffener specimen is largely dictated by the filler

material. In particular the properties transverse to the fibers are important for the 3PB

studied in this paper. The linear elastic properties of the filler were measured for the

20 % filled C/PEKK injection molded dog-bone specimens (total of 6) using Zwick Z100

tensile machine at room temperature. Instron clip-on extensometers were attached to the

specimen to measure the mechanical strains in the in-plane directions in order to estimate

the mechanical properties. Fig. 2(a) shows the corresponding setup. Such specimens had the

most short carbon fibres oriented in the longitudinal direction of the dog-bone specimens,

therefore the tensile properties were obtained for the longitudinal direction according to

ISO527-2 [36]. The stiffness was evaluated using the stress-strain data which showed a linear

relation without sign of extensive plasticity in the vicinity of the fracture zone. Detailed

results are presented in Table 1 obtained from dog-bone specimens. In Table 1, E is the

elastic modulus, ν is the Poisson’s ratio and X tensile is the tensile strength.
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2.2.2. Flexural properties

Due to lack of dog-bone specimens prepared in the transverse direction, the properties

in the transverse direction were obtained using short beam specimens cut from injection

moulded dog-bone specimens in the injection direction (1) and transverse direction (2) as

seen in Fig. 2(b,c). Total of 6 specimens from each types were cut with a diamond saw.

Due to the limited width of the dog-bones, the length of the specimens was limited to

25 mm. The span length of the 3PB set-up was 19.7 mm and the nominal thickness of

the specimens was 3.5 mm. The measurements were performed in two steps, starting with

modulus measurements at lower load values, following with a fracture test. The modulus was

determined after 3 runs, in order to have the specimen set in the set-up. Results showed that

there was hardly any stiffness difference between the second and third run. The modulus was

determined between forces of 150 N and 250 N, from a force where the force-displacement

showed a linear relation. Due to the relatively short span length compared to the thickness,

the influence of shear deflection was also taken into account for evaluating the elasticity

modulus. The standard elasticity modulus evaluation reads for a 3PB loading [37]:

Ec =
L3

48CcI
(3)

where Ec is the elasticity modulus corrected for the set-up compliance, L is the span length,

Cc is the measured compliance corrected for the set-up compliance, and I is the second

moment of inertia of the beam. Taking the shear deflection into account, Cc due to bending

can be expressed as [37]:

Cc =
L3

48EcsI
+

L

4kAG
(4)

where k is the shear coefficient which is 5/6 for rectangular cross-sections [38] and Ecs is the

elasticity modulus corrected for set-up compliance which can be written as:

Ecs =
10GAL3

48I(10GACc − 3L)
(5)

where G is the through thickness shear modulus which is estimated as 4 GPa in the present

study by considering the transverse shear modulus of a unidirectional ply which is usually in
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the order of magnitude of 4 GPa as also shown in Table 2.. The maximum stress at fracture

is calculated as:

Xflexural
T =

FmaxLh

8I
(6)

where Xflexural
T is the bending stress at fracture of the filler, Fmax is the force at fracture

and h is the thickness of the beam. Though no high speed recording has been performed

in this case, it is assumed that the crack initiates on the tensile side of the beam and leads

to the total fracture of the specimen. The results obtained from short beam bending tests

are shown in Table 1. In table 1, Xflexural is the flexural strength. It is assumed that the

mechanical properties in the two transverse directions, i.e. 2- and 3-directions, are identical

for the filler. The fiber orientation at a 2×3.7 mm cross section of the 20% short AS4

carbon filled PEKK was checked using an optical microscopy (Keyence VHX-5000 with the

VH-Z100UR/W/T lens) and the results are shown in Fig. 3. It is seen that the fibers are

highly oriented in the injection direction, i.e. 1-direction.

Figure 2: a) Set-up used for the measurement of tensile properties of the filler. b) Set-up used for the

measurement of bending properties of the filler. c) Short beam specimens for longitudinal and transverse

properties. Fibers are oriented in the 1-direction.

2.2.3. Coefficient of thermal expansion (CTE)

The CTEs in the injection and transverse to the injection direction were measured using

a Mettler Thermo Mechanical Analyzer (TMA). A TMA measures dimensional changes of a

specimen as a function of temperature, using a well-controlled temperature chamber and a
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Figure 3: Micrograph showing the fiber distribution of injection molded 20% short AS4 carbon filled PEKK

on the transverse plane. Fibers are mainly oriented in the 1-direction.

LVDT (Linear Variable Displacement transducer) to measure the dimension change. Total

of 4 specimens in the longitudinal and transverse direction were cut from injection molded

specimens as for the bending tests. Nominal length was 8 mm, with a thickness of 3.4 mm,

and a width between 3 and 4 mm. Most tests were performed at a rate of 1 K/min to start

with, and later at 4 K/min, in a range between 30 ◦C and 120 ◦C. The TMA tests of a single

specimen at these two rates did not give any significant difference. The obtained CTEs are

listed in Table 1 in the longitudinal and transverse directions, i.e. α1 and α2, respectively.

2.3. Mechanical testing

The mechanical response of the hybrid butt jointed composite was observed under 3PB

test conditions. The 3PB was selected because it is easy to apply and allows an impact test

application under non quasi-static conditions. The side surfaces of each specimens were then

manually grinded in water. A local curvature in the skin and neighborhood of the filler was
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Table 1: Material properties of 20 % filled C/PEKK injection molded filler obtained from tensile, bending

and TMA tests. Note that 1 is the longitudinal (injection) direction, 2 and 3 are the directions transverse

to the fiber direction.

Mean Standard deviation (%) Test

E1 [GPa] 16.2 1.5 Dog-bone tensile

E1 [GPa] 16.4 4.5 Short beam bending

E2=E3 [GPa] 6.1 1.0 Short beam bending

ν12=ν13 0.42 14 Dog-bone tensile

Xtensile
1 [MPa] 192.0 0.3 Dog-bone tensile

Xflexural
1 [MPa] 308.0 1.3 Short beam bending

Xflexural
2 [MPa] 191.0 1.3 Short beam bending

α1 [ppm/K] 9.3 1.1 TMA

α2 [ppm/K] 43.2 2.1 TMA

observed due to the process induced residual thermal and shrinkage stresses [39, 40]. Because

of that, the thickness of the skin was also found to be varying throughout the stiffened panel.

In this work, three specimens taken from different places along the butt jointed panel were

presented. The nominal thickness of the specimens was 2.32 mm and the nominal radius

of the filler was 6 mm. The quasi-static 3PB tests were carried out using a 10 kN capacity

Zwick uniaxial tensile system with a loading rate of 1 mm/min and a 1 kN Zwick force cell.

A photo of the 3PB setup is shown in Fig. 4. The nominal roller diameters were 10 mm.

The initiation and growth of the crack as well the post delamination behavior was captured

using a high speed camera (Photron Fastcam SA4 with 30000 frames per second) during the

3PB tests. For this purpose, the camera was focused on the full width of the filler, in the

region of its interaction with the skin.

3. FEM Model

The 3PB test was simulated using a two-dimensional (2D) quasi-static analysis in ABAQUS

since the width of the specimen is relatively small as compared with the cross sectional di-
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Figure 4: The 3PB setup of T-joints.

mensions. A schematic view of the model with the enmeshment is depicted in Fig. 5. A total

of 11502 4 node bilinear quadrilateral plane strain elements (CPE4) available in ABAQUS

are used as in [33]. The web was connected to the filler using the tie constraint interface

contact defined in ABAQUS. A cohesive surface was defined at the skin-filler interface using

a traction separation law to simulate the delamination and predict the CZL. The element

size at the cohesive surface was determined as 0.1 mm based on a mesh sensitivity analysis

from which stable and converged results were obtained as compared with the measurements.

The VCCT was implemented to predict the crack initiation and growth in the filler. Since

the crack initiated only from one curved part of the filler according to the experiments, only

half of the filler domain was included in the VCCT as seen in Fig. 5 (right). The support

and loading pins were modelled using rigid analytic surfaces since the pins had much higher

stiffness than the composite and the pin deformations were neglected. A mechanical contact

formulation was defined at the pin-skin and support-skin interface which allowed any sliding
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and restricted any penetration of the skin beyond the rigid surfaces.

For Layup-1 and Layup-2, the fiber direction of the 0◦ ply was oriented in the global

x-direction for the skin and in y-direction for the web. The aligned short fibers were oriented

in the z-direction. Two different loading steps were used in the numerical simulations. In

the first step, a thermal load was introduced to the hybrid composite structure by applying

a temperature gradient ∆T and the thermal residual stresses were calculated. In the second

load step, a displacement (d) was applied at the reference point (RP) seen in Fig. 5 (left)

in the negative y-direction. The details of the considered values for ∆T and d together with

the material properties are provided in Section 3.3.

Filler

Skin

W
e

b

Support Support

d

x

y

z

RP
Loading pin

h = 2.32 mm

70 mm

r = 6 mm

Figure 5: Schematic view of the geometry in the numerical model (left). The details of the enmeshment

and region for the VCCT shown with shaded area (right).

3.1. Delamination at the skin-filler interface

An uncoupled linear elastic traction separation law was utilized in ABAQUS to simulate

the damage initiation and evolution for the cohesive surface. The model is based on the

numerical modelling of the mixed-mode progressive delamination proposed in [10, 11]. The

normal and shear stresses are related with the normal and shear separations across the

cohesive interface, i.e. skin-filler interface. The uncoupled elastic behavior can be written

as:

t =


tn

ts

tt

 =


Knn 0 0

0 Kss 0

0 0 Ktt




δn

δs

δt

 (7)
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where t is the nominal traction stress vector consisting of three components tn (in the normal

direction to the cohesive surface), ts (in the first shear direction) and tt (in the second shear

direction). The corresponding separations at the interface are denoted by δn, δs and δt. It

is seen in Eq. 7 that the contact stiffness components (Knn, Kss and Ktt) are not coupled,

i.e. pure normal or tangential separations will not contribute to the cohesive forces in the

other directions. The damage initiation, which is the beginning of the degradation of the

cohesive surface, was defined based on the linear elastic relation in Eq. 7. The process

of degradation begins when the contact stresses and/or contact separations satisfy certain

damage initiation criteria. For this, a quadratic stress criterion was considered as described

in Eq. 8. (
tn
t◦n

)2

+

(
ts
t◦s

)2

+

(
tt
t◦t

)2

= 1 (8)

where t◦n, t◦s and t◦t are the interface strength. It should be noted that tn must be positive (in

tension) in order to initiate the delamination at the interface. A linear degradation was used

for the damage evolution in which the Benzeggagh-Kenane (BK) fracture criterion [41, 42]

was employed to define the mix mode softening of the cohesive surface as seen in Fig. 6.

The corresponding expression is written as:

Gmc = GIc + (GIIc −GIc)

(
GII +GIII

GI +GII +GIII

)η
(9)

where Gmc is the critical energy release rate of the mix mode behavior, GIc, GIIc and GIIIc

are the critical energy release rate of Mode-I, Mode-II and Mode-III, respectively, η is the

cohesive property parameter and GI , GII and GIII are the energy release rates of Mode-I,

Mode-II and Mode-III, respectively. A schematic representation of the mix mode damage

evolution is depicted in Fig. 6(right) where Gmc can be written as:

Gmc =
t◦mδ

f
m

2
(10)

where t◦m is the peak value of the mix mode contact stress and δfm is the corresponding

effective complete separation [42]. The linear degradation of the stiffness is shown in Fig.

6(right). If there is an unloading subsequent to damage initiation, it occurs linearly towards
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the origin of the traction-separation plane. Reloading subsequent to unloading also occurs

along the same linear path until the softening envelope (line AB in Fig. 6(right)) is reached.

δmδm

o

δm

f

tm

o

Gmc

tn

o

t

ts

o tt

o,

δ s
,δ t

δn
δn

f

δm

f
δ s,t

f

tm

o

mix mode response

(Mode-I)

(Mode-II, III)

tm

A

B

Figure 6: Mix mode damage evolution (left) and the linear softening law (right).

3.2. Crack initiation and propagation in the filler

The XFEM-based cohesive zone approach was employed to simulate the arbitrary crack

initiation and propagation in the filler, since the crack propagation was not tied to the

element boundaries in the mesh. The VCCT uses the principles of linear elastic fracture

mechanics (LEFM) and hence is convenient for applications in which brittle crack propa-

gation takes place. This choice was partly supported by the fact that the filler failed in a

brittle way in the butt joint structure during the 3PB tests, without significant sign of plas-

tic behavior. The crack initiation was defined using the maximum principal stress criterion

for the filler material in ABAQUS. Once the principle stress value is equal or higher than

the critical principal stress (σmaxP ), than a damage is initiated.

The VCCT is based on the assumption that the strain energy released, when a crack is

extended by a certain amount, is the same as the energy required to close the crack by the

same amount [23, 24]. For instance, the energy released when the crack is extended by ∆x

from x to x + ∆x as seen in Fig. 7 is identical to the energy required to close the crack

between location i and i∗ (closure of element E1 and element E2 in Fig. 7). Fig. 7 shows a
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3D crack model in which the z-direction is in the out-of-plane direction and the model has

a thickness of ∆z in the z-direction. The total work required to close the crack along one

element, i.e. the crack between element E1 and element E2, can be written as:

∆E =
1

2
[Fy,j(vi − vi∗) + Fx,j(ui − ui∗) + Fz,j(wi − wi∗)] (11)

where Fx,j, Fy,j and Fz,j are the forces acting on node j in the x-, y- and z-direction,

respectively, ui, vi and wi are the displacements at node i and similarly ui∗, vi∗ and wi∗ are

the displacements at node i∗ in the x-, y- and z-direction, respectively. The strain energy

release rate G can be defined as the ratio between the total work (∆E) and the crack surface

(∆x∆z). The components of the strain energy release rate (GI , GII and GIII) for Mode-I,

Mode-II and Mode-III can be calculated as [26]:

GI = 1
2∆x∆z

[Fy,j(vi − vi∗)]

GII = 1
2∆x∆z

[Fx,j(ui − ui∗)]

GIII = 1
2∆x∆z

[Fz,j(wi − wi∗)]

(12)

The BK law defined in Eq. 9 was used for the linear damage evolution in the filler.

i
j

x, u

y, v

i* Fy,j

Fx,j

x Δx

E1

E2 z, w

Figure 7: Representation of the virtual crack closure technique (VCCT).

3.3. Model parameters

The material properties of the 0◦ layer in the skin and web were taken from [42, 43] and

given in Table 2. Note that the subscript 1 refers the longitudinal direction.
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The parameters used in the traction separation law defined at the cohesive surface be-

tween the skin and filler were taken from [42] in which the mix mode cohesive properties were

provided for a AS4/PEEK using the BK criterion over a wide range of mode ratio. Since

the interface parameters for PEKK composites are still missing in literature for mix mode

delamination, the material input for AS4/PEEK in [42] was considered as the mix mode

behavior is also the case in the present work. The corresponding values are given in Table 3.

The values for the penalty stiffness (Knn, Kss and Ktt in Eq. 7) at the cohesive surface were

taken as 106 N/mm3 [42] in order not to affect the overall stiffness of the structure during

thermal loading and applied displacement.

Experimentally obtained parameters presented in Table 1 were used for the filler in

the numerical model. Since there was only flexural bending strength (see Table 1) data

available in the transverse direction and the transverse strength was unknown for the filler,

a parametric study was performed based on the damage initiation criteria defined in the

filler (see Section 3.2). The values of the critical maximum principle stress σmaxP used in

the parametric analysis were determined by considering the following facts:

• the tensile strength of pure PEKK is 102 MPa [44] and according to [45], the transverse

tensile strength of short fiber reinforced PA6 was found to be approximately 50% higher

than the tensile strength of pure PA6.

• the tensile strength is generally lower than the flexural strength (Xflexural
2 =191 MPa).

Hence, σmaxP of the filler was varied from 120 MPa to 160 MPa with 10 MPa increments in

the FEM model. The same fracture energy values listed in Table 3 were used for the damage

evolution in the filler.

As aforementioned, a thermal load was imposed by applying a temperature gradient (∆T)

to the butt jointed composite. Since the PEKK is a semi-crystalline thermoplastic, there is

hardly residual stresses built up until the stress free temperature which is the crystallization

peak temperature [39, 46, 47]. The crystalline phases have the load bearing capability below
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crystallization peak temperature and the residual stresses can be built up during cooling

due to the mismatch in the thermal shrinkage behavior between the matrix and the fiber

reinforcement. However, the elastic modulus exhibits a sharp drop in the vicinity of the

glass transition temperature [48]. Therefore, significant portion of the residual stresses are

built up between just above the glass transition temperature and the room temperature (20

◦C) [49] which is also considered in the present study. According to the manufacturers data

sheet of PEKK [44], the melting point is 337 ◦C, glass transition temperature is 159 ◦C

and crystallization temperature is 279 ◦C. Hence, ∆T was taken as 20-159 = -139 ◦C in the

thermal loading simulation.

Table 2: Material properties of a UD AS4/PEKK layer [42, 43].

E1 [GPa] E2=E3 [MPa] ν12=ν13 ν23 G12=G13 [GPa] G23 [GPa] α1 [ppm/K] α2 [ppm/K]

139 10.3 0.3 0.45 5.2 3.7 9.3 43.2

Table 3: Parameters used in the traction separation law for the cohesive surface between filler and skin [42].

GIc [N/mm] GIIc=GIIIc [N/mm] η t◦n [MPa] t◦s=t
◦
t [MPa]

0.969 1.719 2.284 80 100

4. Results and discussion

4.1. Failure behavior

The pictures taken by the high speed camera are depicted in Fig. 8 which show the

crack initiation and propagation during 3PB. The sample rate was 33 µs with a resolution

of 640×376 pixels and the available light was the artificial Cold Halogen. For this purpose,

the camera was focused on the full width of the filler, in the region of its interaction with the

skin. The fracture initiated in both cases, i.e. Layup-1 and Layup-2, in the filler, a few tenth

of millimeters from the filler-skin interface. The crack then grew towards this interface in
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less than 33 µs. The crack grew further at the filler-skin interface in case of Layup-1, where

the fiber orientation of the laminate top layer, parallel to the beam direction, prevented the

formation of transverse cracks. In case of the Layup-2 however, post testing micrography

(Fig. 9) showed that transverse cracks existed in the top 45◦ layer, as well as a delamina-

tion between the 45◦ and the 0◦ layer. The unstable crack growth was also noticed in the

force-displacement graph supporting the high speed camera pictures, which show that the

butt joint was separated from the main laminate within 1 to 2 ms. The specimens built up

in Layup-1 were obviously stiffer than the one built up with Layup-2 due to the inherent

higher bending stiff layup chosen in Layup-1. The force at which the filler fractured was

also higher for the Layup-1 specimens (730-760 N) than the Layup-2 (570-650 N). As ex-

pected, the displacement at fracture was higher for Layup-2 (2.52-2.68 mm) than Layup-1

(2.29-2.49 mm). The drop in force resulting from the fracture was sudden and of a large

amplitude of approximately in the range of 110-150 N. The variation in the measured force

and displacement for three different specimens might be due to the fact that the thickness

of the skin slightly differed. The fractured structure was able to carry load with reduced

stiffness after unstable fracture which can be seen from Fig. 10. The delamination at the

filler-skin interface stopped after the sharp drop in force.

Load-displacement response obtained from the experiments are compared with the ones

obtained from numerical simulations in Fig. 10. The numerical findings for the linear elastic

behavior agreed well with the experiments for different σmaxP values used in the XFEM

defined for the damage initiation in the filler. Among 5 different values, σmaxP=140 and

150 MPa were found to provide closer force and displacement at fracture for Layup-1 and

Layup-2 as seen in Fig. 10. The predicted force drop also matched well with the force drop

in experiments. The development of the crack in the filler and the delamination at the filler-

skin interface obtained from the numerical model are shown in Fig. 11 for Layup-1 with

σmaxP=140 MPa. The cohesive surface damage (CSDMG) distribution is also shown in Fig.

11. CSDMG=0 refers undamaged material and CSDMG=1 stands for complete failure (no

stiffness in the material) for the cohesive surface. The simulations show similar conclusions
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Figure 8: High speed camera shots for Layup-1 specimen (left) and Layup-2 specimen (right) under three-

point bending conditions.

45°

0°

transverse cracks

in the 45° layer

delamination (B to C) at the

skin-filler interface

crack initiation (A) and

progression (A to B) in the filler

skin

web

fillerA

B
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Figure 9: Micrograph of the cracked filler and filler-skin interface for Layup-2 with transverse cracks in the

45◦ layer as well as delamination between filler-skin(45◦) interface and between 45◦-0◦ layer.

with the experimental observations:

- Crack initiation in the filler (Fig. 11(a))
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- Crack growth in the filler and initiation of the delamination at the filler-skin interface

(Fig. 11(b))

- Delamination growth at the filler-skin interface and ending of the delamination after

force drop (Fig. 11(c))
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Figure 10: Force-displacement response under 3PB conditions for Layup-1 (top) and Layup-2 (bottom).
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Figure 11: The predicted fracture behavior in the filler and at the skin-filler interface with cohesive surface

damage (CSDMG) distribution for Layup-1 (σmaxP =140 MPa). a) crack initiation in the filler, b) crack

growth in the filler and delamination inititation at the filler-skin interface c) propagation of the delamination

at the skin-filler interface.

4.2. Cohesive zone length (CZL)

It was found that the traction at the cohesive surface varied during the 3PB loading

without any damage as well as during the delamination. Note that similar failure behavior

was obtained for Layup-1 and Layup-2, therefore results are presented only for Layup-1

in the following. The predicted traction distributions along the filler-skin interface after

thermal loading and at the beginning of damage initiation in the filler are shown in Fig. 12.

The position at the filler-skin interface, i.e. x-direction, is illustrated in Fig. 13. It is seen

from 12 that there was no delamination onset taking place because the interface stresses (tn

and ts) were much lower than the interface strength of the cohesive surface (t◦n=80 MPa,

t◦s=100 MPa). Fig. 13 shows schematically how the traction develops ahead of the crack
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tip during delamination at the filler-skin interface. The delamination started at position

xini, the position of the crack tip was defined as xcrack and the location of the maximum

traction was xmax. The CZL was defined as xmax-xcrack. xini was found to be approximately

2.45 mm from the simulations. The normal and shear stresses at the cohesive surface were

found to vary during delamination due to the nature of mix mode behavior of the filler-skin

interface with respect to the loading. When the delamination started, the traction in the

normal direction (tn) and shear direction (tn) developed in a way that tn was more dominant

than ts at the beginning of delamination. During delamination progression and near the end

of delamination where it stopped, ts leaded the main delamination mode. This can be

understood from the development of the ratio of maximum traction |tn/ts| as a function of

xmax as illustrated in Fig. 14. The delamination stopped approximately at x=7.9 mm. Fig.

14 shows that Mode-I opening was dominant at the delamination initiation and Mode-II

in-plane shear became more effective than Mode-I during the growth of delamination and

near the delamination end. The predicted CZL evolution during delaminaton growth as a

function of xmax is shown in Fig. 15. The CZL increased approximately from 0.45 mm to

0.85 mm where the utilized element size was 0.1 mm in the simulations which was sufficient

to capture the CZL accurately, i.e. at least 5 elements in the delamination direction. The

increase in the CZL was due to the fact that the CZL is larger in Mode-II than in Mode-I

[32].

4.3. Effect of interface strength and critical energy release rate

As aforementioned in Section 1, the processing conditions have an affect on the material

properties. In order to see the effect of variation in the interface strength (t◦n, t◦s) and critical

energy release rate (GIc and GIIc) on the CZL development, a parameter study was carried

out. Fig. 16 shows the effect of varying t◦n = 80, 60, 40 MPa and t◦s = 100, 75, 50 MPa on

the CZL development for Layup-1. As expected from Eq. 1 and 2, the CZL increased for

lower interface strength values. The increase in CZL with respect to xmax becomes higher

for lower interface strength values. The range of CZL was approximately 1.1-1.9 mm for

t◦n=40 MPa and t◦s=50 MPa; 0.7-1.2 mm for t◦n=60 MPa and t◦s=75 MPa and 0.45-0.85 mm
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Figure 12: The interface stress distribution at the filler-skin interface after thermal loading and at damage

initiation in the filler (t◦n=80 MPa, t◦s=100 MPa).
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Figure 13: Schematic view of the distribution of traction ahead of crack tip.

for t◦n=80 MPa and t◦s=100 MPa. Longer CZL in the simulations might result in significant

inaccuracies in the numerical results [32]. However, the load-displacement curves were not

affected by the change in t◦n and t◦s in the present study.

The effect of GIc and GIIc on the CZL is shown in Fig. 17 for different t◦n and t◦s values.

It is seen that the largest CZL range during delamination was obtained for GIc=1.938

N/mm and GIIc=3.438 N/mm for each interface strength values: approximately 2.75-3 mm
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Figure 15: Predited CZL development during delamination as a function of xmax for Layup-1.

for t◦n=40 MPa and t◦s=50 MPa; 1.6-1.8 mm for t◦n=60 MPa and t◦s=75 MPa and 1.1-1.2

mm for t◦n=80 MPa and t◦s=100 MPa. An increase in GIc and GIIc resulted in larger

CZL with a smaller force drop during delamination, hence a shorter delamiantion length.

The corresponding force-displacement response is shown in Fig. 18. The force drop of

approximately 70 N, 110 N and 120 N were obtained for GIc=1.938, 0.969 and 0.485 N/mm
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and GIIc=3.438, 1.719 and 0.860 N/mm, respectively. This shows that simulation with

too high critical energy release rate used at the cohesive surface was unable to capture the

measured force drop and remaining stiffness of the butt joint. It was also found that there

was very small influence of interface strength on the force drop as seen in Fig. 18.
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Figure 16: Effect of interface strength defined at the cohesive surface on the development of CZL during

delamination for Layup-1. Note that GIc=0.969 N/mm and GIIc=1.719 N/mm.

5. Conclusions

The critical assessment of the failure and CZL was presented in this study for a co-

consolidated hybrid C/PEKK butt joint. The failure under 3PB conditions was analyzed

experimentally and numerically. The unstable crack growth in the short fiber C/PEKK filler

and the delamination at the filler-skin interface were captured using a high speed camera. It

was found that the crack in the filler grew towards this interface in less then 33 µs and the

delamination tok place within 1-2 ms. The observed failure behavior was simulated using a

coupled XFEM-CZM approach in ABAQUS.

A good agreement between the experimental results and the numerical predictions was ob-

tained for the butt joint. The predicted stiffness of the specimen, the location of crack

initiation and propagation as well as force drop during delamination were in good agree-
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Figure 17: Effect of critical strain energy release rate (GIc and GIIc) on the development of CZL during

delamination for different interface strength values used at the cohesive surface for Layup-1.

ment with experimental data by taking the residual thermal stresses into account in the

model.

The traction at the cohesive surface was found to vary during delamination due to the

nature of the mix mode behavior of the interface. Mode-I opening was found to be domi-

nant at the beginning of the delamination and Mode-II in-plane shear became more effective

during the progression of delamination and near the end of delamination. This yielded in

an increase in the CZL due to the fact that the CZL in Mode-II is in general larger than the
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on certain GIc and GIIc.

CZL in Mode-I [32].

A parameter analysis was carried out to investigate the effect of interface strength (t◦n

and t◦s) and critical energy release rate (GIc and GIIc) on the CZL and force-displacement

response of the butt joint. It was found that an increase in GIc and GIIc resulted in larger

CZL with a smaller force drop during delamination and hence a shorter delamination length.

There was hardly any effect of t◦n and t◦s on the delamination length and force drop found

from the numerical simulations.
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[15] A Ataş and C Soutis. Application of cohesive zone elements in damage analysis of composites: Strength

prediction of a single-bolted joint in cfrp laminates. International Journal of Non-Linear Mechanics,

66:96–104, 2014.

[16] F Bianchi, TM Koh, X Zhang, IK Partridge, and AP Mouritz. Finite element modelling of z-pinned

composite t-joints. Composites Science and Technology, 73:48–56, 2012.

[17] A Riccio, A Raimondo, G Di Felice, and F Scaramuzzino. A numerical procedure for the simulation

of skin–stringer debonding growth in stiffened composite panels. Aerospace Science and Technology,

39:307–314, 2014.

[18] Li Jun, Xiao Yu Liu, Yuan Ya Nan, and Yao Xuefeng. Numerical and experimental analysis of de-

lamination in the t-stiffener integrated composite structure. Mechanics of Advanced Materials and

Structures, 23(10):1188–1196, 2016.

[19] Hai Wu, Jiayu Xiao, Suli Xing, Siwei Wen, Fubiao Yang, and Jinshui Yang. Numerical and experimental

investigation into failure of t700/bismaleimide composite t-joints under tensile loading. Composite

Structures, 130:63–74, 2015.

[20] S Heimbs, AC Nogueira, E Hombergsmeier, M May, and J Wolfrum. Failure behaviour of composite

t-joints with novel metallic arrow-pin reinforcement. Composite Structures, 110:16–28, 2014.

[21] H Gulasik and D Coker. Delamination-debond behaviour of composite t-joints in wind turbine blades.

In Journal of Physics: Conference Series, volume 524, page 012043. IOP Publishing, 2014.

[22] Ronald Krueger and Pierre J Minguet. Analysis of composite skin–stiffener debond specimens using a

shell/3d modeling technique. Composite structures, 81(1):41–59, 2007.

[23] E Fo Rybicki and MF Kanninen. A finite element calculation of stress intensity factors by a modified

crack closure integral. Engineering Fracture Mechanics, 9(4):931–938, 1977.

[24] EF Rybicki, DW Schmueser, and J Fox. An energy release rate approach for stable crack growth in

the free-edge delamination problem. Journal of Composite Materials, 11(4):470–487, 1977.

[25] Ronald Krueger, Isabelle L Paris, T Kevin O’Brien, and Pierre J Minguet. Comparison of 2d finite

element modeling assumptions with results from 3d analysis for composite skin-stiffener debonding.

Composite Structures, 57(1):161–168, 2002.

[26] Ronald Krueger. Virtual crack closure technique: history, approach, and applications. Applied Me-

chanics Reviews, 57(2):109–143, 2004.

[27] H Hosseini-Toudeshky, B Mohammadi, B Hamidi, and HR Ovesy. Analysis of composite skin/stiffener

debounding and failure under uniaxial loading. Composite Structures, 75(1):428–436, 2006.

[28] Guillermo Vigueras, Federico Sket, Cristobal Samaniego, Ling Wu, Ludovic Noels, Denny Tjahjanto,

Eva Casoni, Guillaume Houzeaux, Ahmed Makradi, Jon M Molina-Aldareguia, et al. An xfem/czm im-

plementation for massively parallel simulations of composites fracture. Composite Structures, 125:542–

30



557, 2015.

[29] Lyazid Bouhala, Ahmed Makradi, Salim Belouettar, Anis Younes, and Sundararajan Natarajan. An

xfem/czm based inverse method for identification of composite failure parameters. Computers & Struc-

tures, 153:91–97, 2015.

[30] Wei Tan and Brian G Falzon. Modelling the nonlinear behaviour and fracture process of as4/pekk

thermoplastic composite under shear loading. Composites Science and Technology, 126:60–77, 2016.

[31] Gang Li and Chun Li. Assessment of debond simulation and cohesive zone length in a bonded composite

joint. Composites Part B: Engineering, 69:359–368, 2015.

[32] Paul W Harper and Stephen R Hallett. Cohesive zone length in numerical simulations of composite

delamination. Engineering Fracture Mechanics, 75(16):4774–4792, 2008.
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